An overview is given of the development of methods for the prediction of fatigue driven delamination growth over the past 40 years. Four categories of methods are identified: stress/strain-based models, fracture mechanics based models, cohesive-zone models, and models using the extended finite element method. It is highlighted that most models are phenomenological, based on the observed macro-scale behaviour of test specimens. It is suggested that a more physics based approach, focusing on elucidating the mechanisms involved, is needed to come to a full understanding of the problem of delamination growth.
Introduction
Over the past fifty years the quest to produce ever lighter structures has led to a greatly increased use of both composite materials and adhesive bonding. To ensure the safety of the resulting structures, it is imperative to understand their fatigue behaviour. Thus the rise of the application of composites and adhesive bonding has gone hand in hand with the development of fatigue models. Degrieck and Van Paepegem [1] classify these models into three major categories: fatigue life models, phenomenological models, and progressive damage models. In this classification fatigue life models are models that are not related to the actual degradation mechanisms, instead using S-N curves or similar means to predict the total fatigue life. Phenomenological models describe the gradual reduction of macroscopically observable properties, usually (residual) strength or stiffness. Progressive damage models predict the evolution of actual damage features, such as matrix cracks or delaminations.
Fatigue life and phenomenological models can be used to perform a safe-life assessment of a structure. However they can not be used to evaluate the effect of incidental damage sustained during service, or other kinds of effect-of-defect analysis. Furthermore, experience in metal structures has shown that a "slow growth" philosophy will allow the design of lighter structures. In a slow growth philosophy, some growth of damage due to fatigue loading is accepted. A regular inspection schedule is used to ensure timely repair and thus safeguard the safety of the structure. By allowing damage growth, higher load levels are acceptable within the structure and a lighter weight design can be achieved. However, such an approach is only possible if the damage growth behaviour is sufficiently well understood to enable the planning of an inspection schedule that enables reliable detection of damage before it becomes critical. As a consequence, a slow growth philosophy requires a model from the category of progressive damage models. The aim of this review is to provide an overview of the available progressive damage models for one specific type of damage: delamination. Delamination is one of the most common damage modes in composite materials, and is common to both composite materials and adhesive bonds. In adhesive bonding delamination is often referred to as disbonding. However if one considers a bonded joint to be a layered structure, it is clear that disbonding is a type of delamination. Indeed the mechanisms involved in both disbonding and delamination are highly similar, as are the prediction methods developed to deal with them. Thus in this review both models developed for disbonding of adhesive bonds and models developed for inter-laminar delamination of composites will be discussed. Over the past 40 years many models have been proposed to predict the growth of delaminations. This paper will chart their development and critically examine any shortcomings. Possible avenues for further research will also be identified.
When examining the literature on delamination growth an obstacle faced by the researcher is that delaminations can grow both due to quasi-static loads and due to cyclic loads. Growth due to cyclic loading generally occurs at maximum load levels that are lower than those required to cause growth under quasistatic loading. Although there is some fractographic evidence that the mechanisms involved are similar for brittle matrix materials (e.g. epoxy resins) [2] [3] [4] , models for static delamination growth are generally not capable of predicting growth due to fatigue loading. Vice versa, fatigue growth models are generally not capable of predicting static delamination growth. It should also be noted that for tough matrix materials (e.g. thermoplastic resins such as PEEK) there is evidence that the mechanisms involved in static growth are not the same as those causing fatigue delamination growth [3] . Unfortunately many models in the literature are simply labelled as delamination growth models, without identifying whether they are applicable to static growth, fatigue growth or both. We therefore encourage future researchers to explicitly state whether their model is applicable to both static and fatigue growth or to only one of these cases. In this review we will consider fatigue delamination models. Static growth models will only be discussed in so far as they formed the basis for later fatigue models.
Many of the models in literature are variations on the same basic approach. To better emphasise the similarity between different models, whenever equations are quoted in this review, the symbols used by the original authors have been replaced by the notation as shown in the nomenclature table.
Classification of the Methods for Prediction of Delamination Growth
Many methods and models have been proposed for the prediction of delamination growth. They can be roughly grouped into four classes:
1. Stress/strain based methods. These relate the delamination growth to the stress or strain in the material. 2. Fracture mechanics based methods. These methods relate the delamination growth to a fracture mechanics property such as the stress intensity factor (SIF) or strain energy release rate (SERR). Usually these methods are based specifically on the sub-domain of linear elastic fracture mechanics (LEFM). 3. Cohesive zone models (CZMs). These are finite element method (FEM) based models in which the interface between two layers is modelled using cohesive zone elements. These elements do not have a constant stiffness, but instead incorporate a traction-displacement relation. A damage parameter is used to progressively reduce the stiffness of the element, simulating the growth of damage. 4. Extended finite element method (XFEM) based models. XFEM is a technique which allows discontinuities to exist within a finite element, rather than only at the boundaries, by using so-called enrichment functions. In this way, delaminations can be modelled at arbitrary points within the material, without first needing to define a crack path or crack plane.
The stress/strain based methods are the oldest, one of the first having been developed in the late 1930s by Volkersen [5] . The fracture mechanics based methods were first proposed for use in delamination problems in the 1970s [6, 7] , following their successful introduction to deal with fatigue crack growth in metals a decade earlier. The CZM approach is more recent, first having been used for delamination type problems in the late 1980s [8] , though the concept itself is older. The XFEM approach is the most recent, having only been developed at the turn of this century [9] . Each of these classes will now be examined in turn.
Stress/strain based methods
Stress/strain based methods have long been used to determine the strength of adhesive bonds. Gleich [10] has provided a comprehensive review of the most important methods developed over the course of the 20 th century. The main problems studied in these investigations were the stress (and/or strain) distribution in the adhesive joint and the definition of suitable quasi-static failure criteria. Stress/strain based methods are generally most applicable to static delamination problems, though there are a few uses of stress/strain methods in fatigue investigations in the literature. Generally stress/strain methods are only used to find a fatigue life, and not predict delamination growth. This is comparable to the treatment of fatigue crack growth in metals, where the stress amplitude may be used to determine the fatigue life of a specimen. Fatigue crack growth on the other hand is predicted using the SIF [11] .
Renton and Vinson [12] used a stress/strain method, but only considered the maximum stress for which a fixed fatigue life could be obtained. Liniecki et al. [13] , Imanaka and Iwata [14, 15] and Ishii et al. [16] used the stress or stress amplitude to predict the fatigue life of a specimen. Although this information can be useful, these models do not provide any information on the delamination growth rate and thus cannot be used to predict the effect of defects. In addition, they cannot be used to support a slow growth design philosophy, for which an understanding of the delamination growth is imperative.
Only two models could be found in the literature where stress is used to predict delamination growth. One is that of Ratwani and Kan [17] , the other is that of Poursartip and Chinatambi [18] . Ratwani and Kan suggested that delamination growth could be described by the following equation:
where da/dN is the delamination growth rate, τ is the shear stress and τ th is the threshold shear stress range below which delamination does not occur. This equation was successfully used to predict S-N curves for a number of specimens. Although equation 1 is written in terms of stress, note that K = σ √ πa. Thus equation 1 is equivalent to using the stress intensity factor to correlate with delamination growth rate when m = 0.5n. Ratwani and Kan themselves state: "Assuming the delamination in the composite to behave like a crack, the power m in [equation 1] may be taken as 0.5n [17] ".
Poursartip and Chinatambi [18] investigated the growth of delaminations from holes in a carbon fibre epoxy laminate and proposed the following, truly stress based, equation for the delamination growth rate:
where R is the stress ratio, ∆σ is the stress amplitude and C, m, and n are fitting parameters, which are assumed to be material properties. Alternatively, this equation could be written as:
which shows that the formulation of Poursartip and Chinatambi includes both the stress range and the mean stress as information on the stress cycle. Indeed the reason for choosing the form of equation 2 was to include the mean stress in the delamination growth relationship.
Poursartip and Chinatambi also correlated the delamination growth rate with the SERR, making use of the relation [19] :
where G is the SERR, P is the load, B is the specimen width, and C is the compliance. This allows equation 2 to be rewritten in terms of ∆G, yielding:
Note that although this equation looks very similar to equation 2, the values of C, m, and n in equation 5 will be different. Poursartip and Chinatambi reported that they did not see much difference in goodness of fit between using ∆σ or ∆G. As they themselves note, this is because in the specimen they used dC/da is constant and independent of the delamination length. In that case use of the SERR or the stress is indeed equivalent. However, this condition does not hold for all geometries.
To truly test whether it is more appropriate to use the SERR or the stress to predict delamination growth, one would have to conduct the comparison on a specimen where the compliance change is a function of delamination length. No such comparative studies could be found in the literature. Still, given the experience with fatigue crack growth in metals [11] one would expect that the stress by itself is not a sufficient similarity parameter to describe delamination growth.
Fracture Mechanics Based Methods
The fracture mechanics based methods link delamination growth to the fracture mechanics concepts of stress intensity factor (SIF) and strain energy release rate (SERR). It is important to note that these two parameters are equivalent and that using one rather than the other does not provide more or different information. The difficulties encountered in calculation of the SIF for inhomogeneous layered materials, such as fibre reinforced polymers (FRPs), have made the SERR the preferred parameter for the modelling of delamination growth. Depending on the specimen configuration the SERR may be calculated analytically, or finite element analysis (FEA) may be used. The most common finite element method to find the SERR is the virtual crack closure technique (VCCT) [20, 21] . During experiments the SERR can relatively easily be obtained by measuring the change of compliance with crack length (dC/da). With equation 4 this can be used to calculate the SERR. This relative ease of measuring the SERR during experiments is another reason it is prefered as the fracture mechanics parameter.
The use of fracture mechanics for delamination problems derives from the success of Paris and co-workers in applying fracture mechanics to study fatigue crack growth in metals [22] [23] [24] . A concise overview of these early developments has recently been provided by Jones et al. [25] .
In essence, most fracture mechanics methods for delamination growth are based on the Paris relation, written using the SERR, and modified to a greater or lesser extent. The basic form of this equation is [22] [23] [24] :
where C and n are fitting parameters, of which the physical meaning is as yet unclear. As dicussed above, and shown by Irwin [26] and Sih et al. [27] , the SIF and the SERR are equivalent. Thus for delamination growth predictions equation 6 is usually rewritten in terms of the SERR. As yet there seems to be no consensus on whether to use ∆G (in analogy to ∆K in the originial equation 1 ) or G max , as the basis of the equation. Thus the general form of the Paris equation underlying most fracture mechanics based delamination growth models is:
1 This analogy is flawed, as is demonstrated in reference [28] It should be noted that equation 7 describes log-linear behaviour and thus only captures part of the delamination growth behaviour. As already noted by Mostovoy and Ripling [7] , the delamination growth rate versus SERR curve has a sigmoidal shape. Figure 1 shows an example of a generalised growth rate versus SERR relation. Equation 7 only covers region II of this curve, although extentions to the model have been proposed in order to also include regions I and III. Modifications of equation 7 have been proposed in order to deal with a number of problems and effects, such as for example the loading mode-mix, the 'R-ratio effect', or the effect of crack closure. This section will first chart the early development of the fracture mechanics methods. Later developments will be discussed according to the specific problems or effects they were aimed to address.
Early development
The first to apply the Paris relation to fatigue delamination growth were Roderick et al. [6, 29] , who studied what would now be called fibre metal laminates, and Mostovoy and Ripling [7] , who worked on adhesively bonded joints. Roderick et al. explicitly referenced the work of Paris and Sih [30] to motivate their choice of equation 7 to correlate the delamination growth. Mostovoy and Ripling simply stated "...the methods used to define flaw tolerance to cyclic loading is [sic] patterned after that used for metals" [7] .
Much early work on the fatigue delamination of adhesive bonds was performed at the NASA Langley Research Center [31] [32] [33] [34] [35] [36] [37] [38] . Other contributions include those of Jablonski [39] and of Brussat and co-workers [40, 41] . These works included the application of the Paris relation to various adhesive systems as well as early investigations of the effect of mode mixture, indicating that the total SERR provided a better correlation to the delamination growth rate than the individual mode SERR.
In fatigue delamination in fibre reinforced polymer (FRP) composites, the first to apply facture mechanics were Wang and Wang [42] , who found a power-law relationship between the delamination growth and both the mode I and mode II SIF ranges, ∆K I and ∆K II . O'Brien extended the work of Roderick et al., correlating delamination growth within FRP composites to the SERR [43, 44] . Early research into predicting fatigue delamination growth in FRP composites by means of fracture mechanics was also performed by Wilkins et al. [45] and Wang et al. [46] who also proposed a Paris type relationship.
It is notable that in all these early investigations, the use of the Paris relation to correlate the delamination growth rate was not motivated by a consideration of the physics of the delamination problem itself. Instead, a model of the form of equation 7 was chosen based on its earlier success in correlating fatigue crack growth in metals. Researchers initially cited the work of Paris and co-workers (e.g. [30] ) or made a general reference to models used in metals. Later workers referred to initial investigations (e.g. [6, 7, 43, 45] ) or general textbooks (e.g. [47] ). Wang and Wang [42] are an exception in that they did not a priori propose a powerlaw relationship based on prior work. However they also did not motivate their choice of the SIF to correlate delamination growth, merely showing that a power-law correlation exists.
In the research that followed the investigations described in this section, equation 7 is usually taken as a given, with modifications being proposed to deal with a certain effect the investigators are studying.
Starting from these early investigations and running up to the present day, the SIF and SERR have undeniably been shown to correlate with delamination growth, as has been reported many times in literature. A question that is not answered by the literature however, is why this should be so. It is the authors' opinion that a better understanding of the underlying physics that prescribe the power-law relationship between SERR and delamination growth rate would help explain many effects that are observed to affect this relationship.
G max vs ∆G and the R-ratio effect
No consensus has so far been reached on whether equation 7 should be a function of G max , or of ∆G, i.e. the maximum SERR, or the SERR range. Many researchers pick either one or the other, often with a reference to earlier work from literature, without any comparison between the two options. Prominent examples can be found in the earliest published works on fatigue delamination, such as that of Roderick et al. [6] , where G max is used, and that of Mostovoy and Ripling [7] , who used ∆G.
In a later work Roderick et al. [29] did investigate which expression of f (G) to use. Roderick et al. proposed three expressions for G; one based on using σ max , one based on using ∆σ, and one based on the combination of both. Testing these expressions on three different material systems, they found that which expression correlated the delamination growth successfully depended on the material system, suggesting a difference in the sensitivity to the mean stress.
The first to use the ∆G formulation in FRP composites were Mohlin et al. [48] , and Bathias and Laksimi [49] ; they did not motivate their choice. Gustafson and Hojo [50] adopted ∆G based on models developed for metals [51] and rubber [52] .
Both G max and ∆G have successfully been correlated with delamination growth in a variety of investigations. Equation 7 with f (G) = G max has been used to investigate the effect of laminate strengthening by interlayer strengthening [53] [54] [55] and through the thickness reinforcement [56, 57] . It has also been used to investigate growth in the presence of a hole [58] and post-impact [59] . Pradhan and Tay used G max to investigate the evolution of the delamination shape [60] . Krueger used a G max formulation to create a benchmark for FEM predictions of delamination growth [61] [62] [63] .
∆G has been used to correlate delamination growth in the case of high cycle (>10 8 cycles) fatigue [64] [65] [66] and to investigate the influence of the matrix [67] [68] [69] . It has also been used in the development of experimental procedures [70] , and to investigate the effect of the stacking sequence [71, 72] .
Regarding ∆G it should be noted that recently Rans et al. [28] have pointed out that in order to correctly apply the similarity principle the appropriate expression for ∆G is not G max − G min , but rather:
To avoid confusion this expression of the SERR range will be referred to as ∆ √ G in this paper. ∆ √ G had already been used in a number of works, such as those of Marissen [73] , Zhao et al [74] , Alderliesten [75] , Alderliesten et al. [76] , and Matsubara [77] .
One reason little difference is seen between the use of G max or ∆G is that the ratio G min /G max is proportional to R 2 . As noted by Wilkins et al. [45] , this means that for example for R = 0.1, G min /G max = 0.01 and thus G max and ∆G will be almost equal.
Only a few researchers have reported their considerations for choosing either G max or ∆G. Martin and Murri [78] and Aymerich et al. [56] selected G max over ∆G, because they claim facial interference during the unloading phase of the fatigue cycle ("consisting of fibre bridging, a plasticity zone wake, surface roughness, and debris" [79] ) makes it difficult to correctly determine the value of G min . Note that this means Martin and Murri, and Aymerich et al. were contrasting the use of G max with the use of an effective SERR range, as proposed by Jablonski [39] , based on the crack closure concept discovered in metals by Elber [80] . In Jablonski's method instead of ∆G, ∆G eff is used, which is defined as:
where G closure is the SERR at the stress level for which crack closure occurs. In the more common definition of ∆G, G min is simply the SERR at the minimum applied stress level, which should not be difficult to determine and is not affected by facial interference. Singh and Greenhalgh [81] stated that G max was preferable due to the potential ambiguity in the definition of ∆G as G max − G min in loading conditions where the stress changes sign (i.e. R < 0), whereas G will not. This argument is somewhat curious, as a given G max value could correspond to many different loading conditions with values of R < 0.
Furthermore Mall et al. [82] , and Rezaizadeh and Mall [37] found that the use of G max produced different curves for different R-ratios, whereas when they used ∆G, the curves collapsed into a single line regardless of R-ratio. The observed disappearance of the R-ratio effect in this case may have been material dependant however, as other researchers have reported an R-ratio effect even when using ∆G [2, 29] .
Chan and Wang [83] , using G max normalised by the critical static SERR G c , also found an R-ratio dependency in their results and suggested that a modification of equation 7 was required to include this. This has recently been done by Allegri et al. [84] , who proposed the relationship:
The reason for choosing specifically this expression to include R was not given, but the form suggests the line of reasoning followed was similar to that of Andersons et al. [85] . Andersons et al. used the Goodman relation to derive the exponent n/ (1 − R) for a Paris-type relation based on the SIF, K. As K min /K max is equal to R and G min /G max is equal to R 2 , it seems Allegri et al. followed a similar approach. Rans et al. [28] considered a number of datasets obtained from literature [73, 77, [86] [87] [88] [89] As Rans et al. display data from several sources side by side in this paper, it can clearly be observed that there are large differences in the R-effect for different loading modes. Under mode I loading (based on data from [2] ) the delamination growth rate for a given ∆G = G max − G min increases with increasing R, whereas for mode II (based on on data from [89] ) the delamination growth rate for a given ∆G decreases with increasing R. When using the ∆ √ G formulation rather than ∆G the observed R-effect for mode II loading disappeared. For mode I an R-ratio effect was still observed.
Neither G max nor ∆G or ∆ √ G seem to give a satisfactory resolution to the R-ratio effect. The authors contend that this is to be expected. Ultimately, delamination growth is driven by the fatigue load cycles applied to the structure. The use of fracture mechanics to predict the delamination growth rate is based on the similarity principle, i.e. the principle that if the SERR or SIF is equal for two delaminations, (whether in the same or different specimens), they are experiencing the same driving force and thus will have the same growth rate. However, using only the maximum stress, or only the stress range, is insufficient to properly characterise a stress cycle. To characterise a stress cycle one must always use two variables. Common parings include maximum and minimum stress (S max , S min ), mean stress and stress amplitude (S m , S a ), and stress range and R-ratio (∆S, R) [11] .
Consider also that one can write:
where G m is the mean SERR. This shows that keeping G max or ∆G constant and changing the R-ratio implies changing G m . Thus G max and ∆G by themselves do not give sufficient information on the applied stress cycle to be able to fully characterise the delamination growth. One way of ensuring that full information on the stress cycle is used is by including the R-ratio in the equation as done by Poursartip and Chinatambi [18] (equation 2, using G rather than σ), Andersons et al. [85] , and Allegri et al. [84] .
Another option is to describe the delamination growth rate in terms of both G max and ∆ √ G, or, equivalently, K max and ∆K. This has been proposed by Hojo et al. [2, 3] , Atodaria et al. [90] [91] [92] , Andersons et al. [88] and Jones et al. [25] .
Hojo et al. [2, 3] proposed the following relationship:
or equivalently (though the numerical values of C, γ and n will be different) [28] :
here γ is an empirical material parameter that varies between 0 and 1 and represents the sensitivity to the mean (or equivalently, maximum) stress. Equation 13 was derived from the phenomenological observation that for a given delamination growth rate ∆K (1 − R) γ is constant, as first observed in metals by Klesnil and Lukáš [93] . In reference [2] delamination growth rates were plotted against ∆K for three different R-ratios. Plotting against ∆K eq = ∆K
(1−γ)n K γn max rather than ∆K, these lines collapsed into one trend line for da/dN vs ∆K eq .
If a certain material has a high value of γ this indicates that the fatigue delamination growth mechanism is largely controlled by the maximum stress, and thus is similar to the static growth mechanism. Conversely a low value of γ indicates that the cyclic stress is more important for the fatigue growth mechanism, thus implying a different mechanism is dominant. This matches fractographic observations [2] .
Atodaria et al. [90] [91] [92] proposed the similar set of equations:
where K average and √ G average are weighted averages determined according to:
where n is the number of divisions by which the range K th to K max is divided, and w is an experimentally determined weight factor. No physical principle is invoked by Atodaria et al. or Hojo et al. to explain why ∆K and K average or K max should be multiplied, rather than combined in some other way. For Hojo et al. the formulation of ∆K eq follows from the phenomenological observation that ∆K (1 − R) γ is constant for a given delamination growth rate. Atodaria et al. chose multiplication due to the likewise phenomenological observation that for a fixed K max , the delamination growth rate decreases with increasing values of R (due to the reduction of ∆K); whereas for a fixed ∆K the delamination growth rate increases with increasing Rratio (due to the increase of K max ). A mechanism based explanation of why multiplication is the appropriate form of combination unfortunately remains lacking.
Andersons et al. [88] propose the following equation for the delamination growth rate:
with
where γ is the mean stress sensitivity parameter defined by Hojo et al., and ∆K th0 is the value of ∆K th extrapolated to R = 0. Jones et al. [25] note that this formulation is similar to the Hartman-Schijve equation proposed for metals [94] . Jones et al. then formulate equations for mode I and II delamination growth as:
The equation for mode II growth is the same, but with the mode I values replaced by mode II values. Jones et al. further note that "the terms ∆ √ G Ith and √ G Ic are perhaps best viewed as parameters that are used to ensure that the entire range of data fits the equations [25] ." This statement is somewhat puzzling. ∆ √ G Ith and √ G Ic are material parameters that can in principle be determined independently (especially √ G Ic ). As such, their values should be fixed (given fixed material and environmental conditions, etc), and treating them as fitting parameters as suggested by Jones et al. is inappropriate. Equation 20 suggests a physical dependence between delamination growth, the growth threshold, and the critical SERR. If such a physical link exists and is correctly modelled it should not be necessary to modify the values of ∆ √ G Ith and √ G Ic . Nevertheless, Jones et al. applied their equations to data found in literature and showed the R-ratio effect disappeared if the growth rate was plotted against ∆
Mode Mix
The delamination growth behaviour of a material is known to depend upon the mix of opening modes. Research has focussed mainly on the effects of mode I and mode II, as for the loading conditions examined the mode III component is usually negligible. In cases where the mode III component is of sufficient severity however it is certainly capable of causing delamination growth [95] . A comprehensive overview of the various methods proposed to deal with mode mix has been provided by Blanco [96] and Blanco et al. [97] .
The first to study mode-mix were Brussat and co-workers [40, 41] , who suggested the purely empirical relationship:
Of this equation Brussat et al. already noted ''The equation is strictly empirical, and its form is subject to change in the future as a variety of mixed mode fatigue crack growth data becomes available [40] ." Mall et al. found that G tot = G I + G II was best at correlating the delamination growth in the bonded FRP specimens they studied [31] . In a later paper [36] they argued that this was supported by the observations of crack displacements performed by Liechti and Knauss [98] . Xu et al. disputed these results [99] . They contended that ∆G I is the governing parameter for delamination growth, although the presented experimental evidence is not conclusive on this point: specimens tested under mode I and under mixed-mode did not show the same trend when the growth rate is plotted against ∆G I .
A different approach was taken by Ramkumar and Whitcomb [100] , who proposed the phenomenological formulation:
where C I , n I , C II ,and n II were determined experimentally, considering pure mode I, and pure mode II loading, respectively. Gustafson and Hojo [50] suggested a similar relationship, but using ∆G rather than G max . Based on test results Russell and Street [101] developed the equation:
where C m and n m are determined from the values for pure mode I and pure mode II by means of a rule-ofmixtures, using f I = G I / (G I + G II ) and f II = 1 − f I as weight factors.
Assuming linear damage accumulation in the process zone (i.e. validity of the Miner rule over small lengths), Andersons et al. [85] derived the relation:
where C and n are both functions of the mode-mix angle, as well as the mode I and mode II fracture toughnesses K Ic and K IIc . The mode-mix angle expresses the ratio between mode II and mode I loading, and is defined as:
Kenanae and Benzeggagh [102] investigated unidirectional glass/epoxy composites and found a dependence between the Paris parameters C and n, and the mode ratio G II /G tot , where G tot = G I + G II . Based on the observed dependence Kenane and Benzeggagh proposed the use of the Paris relation in terms of ∆G, but with C and n defined as:
where m C and m n are emprically determined parameters, considered by Kenane and Benzeggagh to be characteristic of the material under consideration. Kardomateas et al. [103] [104] [105] considered the delamination growth to be a function of G max , the load ratio G min /G max , and the mode-mix angle, ψ, defined according to equation 25. Based on these considerations they proposed the model:
whereḠ is a function of the SERR and the mode-dependent toughness Γ 0 :
Γ 0 is defined following Hutchinson and Suo [106] :
λ is an experimentally determined parameter, equal to G Ic /G IIc . The advantage of this model is that it is a function of both G max and ∆G and so fully captures the applied stress cycle. In light of the argument of Rans et al. [28] , improvements in predictive performance may be expected if the similarity principle is correctly applied by using ∆ √ G in place of ∆G.
Blanco et al. [97] analysed experiment data from the literature [107] that showed that the mode-mix dependence was non-monotonic. To account for this Blanco et al. developed a model similar to that of Kenanane and Benzeggagh, but incorporating an extra quadratic term:
where C m and n m are empirically determined mixed-mode parameters. The calculated values of C and n are used in the Paris relation (equation 7), formulated with f (G) = ∆G/G c . Quaresimin and Ricotta [108, 109] proposed a Paris type growth relation as a function of ∆G eq , where G eq is defined as:
this is inserted into equation 7 to give:
Quaresimin and Ricotta claim as a new feature of this formulation "the capability to explicitly account for the variation of the mode-mixity ratio with the crack length [109] ." However if one considers that G is in principle always a function of a, most of the models discussed above have this capability, although the mode-mix dependence is indeed not always as explicit as in the model proposed by Quaresimin and Ricotta. It is notable that apart from the model of Kardomateas et al. all the proposed methods for predicting mixed-mode delamination growth express the delamination growth in terms of either G max or ∆G, and so rely on an incomplete description of the applied stress cycles. For all the methods using ∆G the argument of Rans et al. [28] applies: a correct application of the similarity principle requires the use of ∆ √ G, and not ∆G.
A number of papers have shown fractographic evidence for differences in the micro-mechanisms governing mode I and mode II delamination growth, e.g. [4, 67, 74, 86, 97, 110, 111] . Even so, nearly all the models discussed above are based on the observation of the macroscopic delamination growth behaviour, with no attempt to relate this to the micro-scale mechanisms which form the physical basis of the observed behaviour. An understanding of the micro-mechanics may point the way towards understanding the macroscopic behaviour. For example Singh and Greenhalgh [110] have suggested that the increased resistance to delamination growth under mode II loading is caused by the increased fracture surface area on the microscopic scale, when compared to mode I crack growth mechanisms. Chai has provided some more detailed considerations of this mechanism [112, 113] . O'Brien has also shown [111] this mechanism for mode II delamination, and on this basis argued that the commonly used G IIc is not a correct measure for the interlaminar shear toughness.
Singh and Geenhalgh suggest that mixed-mode delamination behaviour may be caused by the difference (increasing with an increasing proportion of mode II), between the preferred crack growth directions on the microscopic and macroscopic scale. Understanding and quantifying the interplay between the microscopic and macroscopic preferred growth directions may suggest an appropriate form for predicting mixed-mode delamination growth.
Normalisation of the SERR
A number of researchers have suggested that the SERR should not be entered directly into the Paris relation, but should be normalised by the critical SERR (fracture toughness), resulting in variations on the Paris relation such as:
The first to suggest this approach were Wang et al., who claimed ''...the quantity G/G c represents the crack-driving force relative to the material's resistance [46] ." Normalisation by the fracture toughness was adopted in a number of other investigations [83, 84, 97, 100, 101, 114] . Note that since G c is assumed to be constant (at least for a given mode mix and environmental conditions), it could in principle be included in the parameter C. The reason it is often included explicitly in the equation is the perceived relationship between the static fracture toughness and the resistance to fatigue delamination. The existence of such a relationship must be questioned however, as it has been shown that there is no direct correlation between resistance to static delamination growth (i.e. fracture toughness) and resistance to fatigue delamination growth [7, 67, 86, 99] .
Poursartip proposed that the SERR should not be normalised by a static value, but instead by the parameter G R (a), which represents the changing resistance to delamination growth over the course of a fatigue loading history [115] . This approach was also adopted by Shivakumar, Chen, and co-workers [116, 117] and Zhang, Peng, and co-workers [118, 119] . The resistance to delamination growth is caused by a number of different mechanisms, such as: "matrix cracking and fiber bridging in the case of unidirectional composites; tow cracking, multiple delaminations, tow bridging, and tow breaking in the case of woven/braided fiber composites [116] ." As such G R is a phenomenological parameter that combines many different effects into one value, which is determined from the quasi-static delamination curve (R-curve). This raises the question whether the quasi-static and fatigue loading situations are in fact comparable. How much does a G R value determined from a qausi-static delamination test really say about the fatigue behaviour?
In addition one can ask whether the delamination length a is really a determining factor for mechanisms such as transverse cracking. A repeatable delamination growth rate (i.e. the same growth rate behaviour is seen if a test is done multiple times with identical conditions) means that a is correlated to the number of applied cycles and therefore time. As a result the delamination length can act as a proxy for the number of applied cycles or the elapsed time. It is possible G R , or at least some of the mechanisms that determine G R , does not actually depend on the delamination length, but rather on some other quantity (such as number of cycles) for which the delamination length is merely acting as a proxy.
Zhang, Peng and co-workers addressed some of these issues by determining G R in a different manner. At first they proposed determining G R by a 're-loading' approach, where after a certain amount of fatigue loading the specimen is quasi-statically loaded until delamination growth is observed [118] . The SERR value at which delamination resumes under quasi-static loading is taken to be equal to G R . The disadvantage of this method is that the damage state of the fatigue specimen is destroyed, so further fatigue testing is no longer meaningful. Thus in a second paper [119] a new approach was proposed. In this method G R is also determined from the R-curve. In contrast to the previous approaches however, G R is not determined by taking the delamination length reached during the fatigue cycling. Instead an effective delamination length is used, such that the compliance of the static specimen(s) used to determine the R-curve is, at that effective length, equal to the compliance of the fatigue specimen. This has the advantage that damage states of the static and fatigue specimens may be more similar. The determined G R (a) curve is still highly specific however, as it depends not only on the material used, but also on effects such as stacking sequence, due to the variety of mechanisms (potentially) involved. Furthermore an R-curve is constructed based on detected damage growth and thus is dependant on the experimental set-up. Thus an approach based on the cause(s) of the delamination resistance, rather than on the observed effect would be preferred.
Giannis et al. [120] and Murri [121, 122] have proposed normalisation by G R as a method to account for fibre bridging during mode I fatigue testing. Fibre bridging is a consequence of using a unidirectional laminate in a test specimen, and will not occur if a laminate delaminates along an interface between two fibre layers with different orientations (a case which is more relevant to actual structures than the unidirectional laminate). Normalisation by G R lowered the exponent in the Paris relation and also reduced the spread in the delamination growth data. Again however one must ask whether it is physically correct to relate delamination growth in fatigue to the R-curve in this way. Murri alreadly notes that the magnitude of fibre bridging during fatigue loading is probably lower than during quasi-static loading [122] . In addition the use of the the R-curve implies that the quasi-static delamination mechanism is the same as the fatigue delamination mechanism and that therefore the resistance to quasi-static growth also determines the resistance to fatigue growth. Recent fractographic evidence [123] suggests that this is in fact not the case.
Effect of environmental and testing conditions
The effect of temperature on delamination growth rate in composite laminates has been investigated by Chan and Wang [83] , Sjögren and Asp [124] , Shindo et al. [125] [126] [127] , and Coronado et al. [128] . Burianek and Spearing [129] and Rans et al. [130] studied the effect of temperature on delamination of FMLs. Ashcroft, Shaw and co-workers [131, 132] investigated adhesively bonded composites.
All these researchers have reported that the temperature during the test affected the delamination growth rate. Generally, a higher temperature means a higher growth rate. Some exceptions have been noted however: Chan and Wang [83] reported that specimens tested at low temperature (-55 ℃) had the lowest fracture toughness (though the effect on growth rate is less clear). Ashcroft and Shaw. [132] also found higher growth at low temperature, suggesting that the effect of temperature may be strongly dependant on the matrix or adhesive material.
Rans et al. [130] reported non-monotonous behaviour. In their experiments the delamination growth rate at low temperature (-40 ℃) was lower than that at elevated temperature (70 ℃), but higher than the room temperature rate. Rans et al. do not offer an explanation for this behaviour. Shindo et al. [125] [126] [127] also found non-monotonous behaviour. They reported that the delamination growth rate at 4K was lower than that at room temperature, but higher than at 77K. They suggest this can be explained by a better fibre-matrix adhesion at lower temperatures, which is supported by fractographic evidence [125] .The lowered resistance to delamination growth at 4K is explained by the freezing of the molecular motion of the epoxy resin, which prevents stress relaxation. In addition Shindo et al. refer to the work of Hartwig and Knaak [133] , showing that 4K thermal residual stresses will arise at the fibre-matrix interface and that the matrix will be embrittled. Shindo et al. suggest these effects contribute to the lower resistance to delamination growth at 4K, when compared to 77K.
Of the researchers discussed above, only Burianek and Spearing [129] attempted to find a quantitative relationship between temperature and growth rate. They included an Arrhenius relationship in the Paris relation, based on the use of the Arrhenius equation to describe the temperature dependence of creep behaviour in metals. The proposed relationship has the form:
where R is the universal gas constant, Q is the activation energy, T is the temperature, and C and n are the Paris parameters. Although this equation successfully correlated the results, it is not immediately obvious why an equation used for creep in metals should work for delamination growth in composites. Another aspect that remains unclear is that the value of the activation energy was calculated as ranging from 12 to 17 kJ/mol. How Burianek and Spearing calculated these values is not reported however. The effect of moisture on delamination growth was investigated by Chan and Wang [83] and Russell and Street [134] . Both found that moisture decreased the fracture toughness, although the effect on delamination growth was less clear. Hojo et al. [135] also investigated the effect of moisture in composite laminates, looking at two different resin types. They found that moisture generally increased the delamination growth rate and reduced the delamination threshold. The magnitude of the effect depended on the material investigated. Based on fractography Hojo et al. suggest that the change in growth rate can be explained by a change of mechanism from matrix cracking to fibre-interface disbonding.
Acceleration of the delamination growth due to moisture content was also reported by Fernando et al. [136] and Jethwa and Kinloch [137] . No quantitative dependence has so far been proposed however. The specimens of Jethwa and Kinloch were examined using elemental mapping X-ray photoelectron spectroscopy and a number of other techniques, which was reported in a second paper [138] . This analysis suggested that moisture changed the locus of failure of the adhesive bond, thus causing a different failure mechanism (with a different SERR vs growth rate relationship) to be dominant. More recenctly Landry et al. [139] also found that exposing carbon/epoxy composites to water, hydraulic fluid, or de-icing fluid prior to fatigue loading increases the delamination growth rate.
Full SERR range models
The Paris relation as given by equation 7 describes a straight line when plotted on a log-log scale. This relation generally holds over a certain range of values of G max or ∆ √ G. However already during the early investigations of Mostovoy and Ripling [7] it was known that the full fatigue behaviour has a sigmoidal shape, as shown in figure 1 . The Paris relation describes region II of this behaviour, but fails to capture the threshold and unstable growth regions (region I and III). To create a delamination growth model that is valid over the full SERR range, Martin and Murri [79] proposed the power law expression:
Note that this expression was based on the observed shape of the da/dN vs G graph, and not on physical considerations. Based on the same line of reasoning as that of Martin and Murri, equation 37 was also proposed by Kinloch and Osiyemi [140] , who used it to predict the life of adhesively bonded single lap joints. This approach was further explored in a number of later papers [141] [142] [143] . Abdel Wahab et al. [144] also used a relation similar to equation 37 to find the fatigue life of adhesive bonds, but included a mode-mix dependence. Shivakumar, Chen, and co-workers [116, 117] have proposed a number of variations of equation 37, making use of the length dependent delamination resistance G IR as proposed by Poursartip [115] . This model was applied to a T700 carbon / vinyl ester composite [145] . Reasonably good agreement was found for the loglinear growth region, though with a scatter band spanning roughly an order of magnitude. Unfortunately little to no experimental data was presented for the threshold and unstable growth regions, making it hard to evaluate the correctness of the model. Giannis et al. [120] also present a model of the form of equation 37, but again the experimental data does not clearly show a threshold or unstable growth region, making it difficult to evaluate the performance of the model outside the log-linear region.
To generate a full SERR range model, the value of the fatigue delamination threshold G th , i.e. the SERR value below which no delamination growth occurs, is required. If a specimen is used in which the SERR reduces with increasing delamination length (e.g. a double cantilever beam (DCB) specimen), the threshold can be determined by continuing the fatigue test until no further growth is observed after a set number of cycles. However, if fibre bridging occurs in the specimen (e.g. for a unidirectional laminate) the resulting threshold value will be artificially high [120] . Instead it may be better to determine the fatigue threshold by performing a delamination onset test, to minimise the effect of fibre bridging. A standard test method for delamination onset has been proposed by the American Society for Testing and Materials [146] . In this method several specimens are cyclicly loaded with different G max values below G Ic until delamination onset occurs. The number of cycles at which onset occurs is recorded and in this way a G-N curve (analogous to the S-N curve) for delamination onset can be constructed. If this curve shows a 'fatigue limit' (i.e. a SERR value below which no onset occurs) this is taken to be the threshold level.
Although a model based purely on the log-linear region II may be sufficient for many delamination growth analyses, a true understanding of the physics of the delamination problem should allow the formulation of a model that covers the entire range of delamination behaviour from the growth threshold through to unstable delamination growth. Such a model would link successful log-linear growth models to models for static delamination growth.
Variable Amplitude Fatigue
Delamination growth due to variable amplitude (VA) fatigue has so far not received much attention. Investigations have been reported by Schön and Blom [147] and Bathias and Laksimi [49] who studied FRPs, and by Marissen [73, 148] and Khan et al. [149] who examined VA delamination growth in FMLs. An investigation by Martin on variable amplitude fatigue in FRPs has been included in the Composite Materials Handbook [150] . This investigation indicated that history effects were relatively small, but suggested that further work is necessary to check the robustness of the results to variations in material and lay-up. Schön and Blom modelled the delamination growth by assuming linear damage accumulation (so basically a variant of the Miner rule). As delamination growth interacts with other damage modes, such as transverse cracking [64, 65] , it seems somewhat unlikely that linear damage accumulation would hold for all materials and load cases, since that would imply the absence of any history or interaction effects. Indeed, Marissen reported that load history had an effect on the delamination growth and thus that linear damage accumulation is insufficient to predict the delamination growth rate [73, 148] . In contrast Khan et al. [149] reported an absence of interaction effects for delamination growth in Glare (a glass fibre / aluminium FML). Khan et al attribute these differences to the differences in the specimen configuration: Marissen used ARALL (aramid/aluminium) with woven fibre layers, whereas Khan et al. used Glare, with unidirectional fibre layers. Bathias and Laksimi [49] also reported there were no history effects for delamination in glass/epoxy composites.
For an understanding of the fatigue behaviour of structures in actual service a better understanding of the effect of VA fatigue is crucial. More research is therefore needed on this topic.
Other Approaches
A number of researchers have suggested fracture mechanics based approaches that do not fit into the categories described above. Those will be discussed in this section.
Schön noted that as the Paris relation forms a straight line (in a log-log plot) it can be defined by two points [151] . Schön proposed the use of the threshold growth value and the onset of unstable delamination growth. According to Schön the threshold SERR value is independent of mode-mix and R. Note this is not in agreement with other results published in literature [2, 29, 85, 152] . Schön further contends that the critical delamination growth rate (but not the attendant SERR value) is independent of mode-mix and R, which would seem to be merely a question of definition. Using the threshold and critical values Schön then derived the Paris parameters as:
Here Q is a restatement of the R-ratio as:
Schön adopted the Q-ratio as he contends there is no difference between compression-compression and tension-tension loading. Considering the possible occurrence of buckling in compression-compression loading, this claim is questionable. In a later paper [153] Schön investigated tension-compression loading, which based on reference [154] he claims is the most severe loading condition. Using the model described in reference [151] he derived that the most severe loading ratio is R = −1. It is not clear exactly what specimen and loading configuration Schön is considering, but a consideration of the physics shows that his conclusion can not hold for pure mode I loading at least, since in pure mode I the delamination will be closed during the compression part of the loading cycle. In essence the approach described by Schön is a strategy for experimentally determining the Paris curve. Schön claims that this proposed approach will greatly reduce the amount of work needed to characterize the fatigue delamination growth [151] . The correctness of this assertion is doubtful. Typically, finding the fatigue threshold requires a large number of long duration tests. It is not evident that this would require less effort than generating data points along the log-linear range of da/dN vs SERR values and then finding C and n by curve fitting. Furthermore, Schön's model does not account for the effect of the R-ratio (possibly due to using ∆G rather than ∆ √ G) or mode-mix, making the value of this approach limited.
A novel approach was taken by Dahlen and Springer [155] , who used a dimensional analysis based on the Buckingham Π theorem [156] . For the growth during one cycle they derived the relationship:
where σ f is the ply strength, E y is the transverse ply modulus and U is a function of G max /G c and G min /G max . By analogy to the situation in metals G c , σ f and E y were selected as controling variables. The form of U depends on the presence of shear reversal. If shear reversal occurs then:
In the absence of shear reversal U is given by:
The parameters C, n, and E y G c /σ 2 f are functions of the mode mix and the pure mode I and mode II values of these parameters, similar to the Russell-Street model [101] , though with different 'mixing functions' and weight factors.
Note that the parameter σ 2 f /E y G c is a constant (assuming the temperature does not change significantly) and that U is an effective stress ratio, like the one originally proposed by Elber for mode I crack growth in aluminium [80] . In other words, the model proposed by Dahlen and Springer can be reduced to a Paris type relation of the form:
At first glance the model proposed by Dahlen and Springer as given by equation 42 looks promising, as it appears to take account of the physics of the problem. However the failure to replace the parameters C and n by independently determinable material properties implies that not all the quantities controlling the delamination behaviour were identified. Given that C must be determined by curve fitting of delamination growth results, any constant value can be 'extracted' from C without affecting the correlation of the resulting power-law relation. Thus if a quantity is extracted from C, a rigorous physical justification should be given for the importance of that quantity, or there is no added value in including it separately in the equation. Such a justification is lacking for the quantity E y G c /σ 2 f proposed by Dahlen and Springer. Wimmer and Pettermann employed the growth relation proposed by Dahlen and Springer in a semianalytical model of delamination growth [157] . Unfortunately they do not provide an experimental validation of their model. Wimmer et al. [158] did compare the predictions for quasi-static loading generated by the model proposed in reference [157] with experimental values. The correspondence between the predicted and experimental behaviour was not very good however.
Xie and Biggers have proposed a fracture mechanics approach based on the use of the FEM [159, 160] . In this approach the interface along which the delamination growth occurs is modelled by plate elements connected by springs. Three springs are used per connected node in order to model each of the opening modes. Delamination growth is simulated by deleting the springs (or reducing their stiffness to 0) when a fracture criterion is exceeded. Xie and Biggers used a criterion of the form:
Xie and Biggers also used an ingenious technique employing two vectors to describe the delamination front at the connecting nodes in order to avoid the need to perform re-meshing after each delamination growth step. Although they do not state it explicitly, Xie and Biggers only employed their model in the investigation of delamination growth under quasi-static load. However Boscolo, Zhang, and co-workers [161] [162] [163] [164] [165] have used a similar approach to model delamination growth in a strap bonded to a plate in which a fatigue crack is growing. There is a serious problem with applying this apporach to fatigue delamination growth however, which can be seen by conducting a simple thought experiment. Imagine a configuration containing a delamination. The first fatigue cycle is simulated by applying the maximum fatigue load to the configuration. The SERR is computed at each node along the delamination front. If the fracture criterion is exceeded the node is released. The SERR is the computed again for the new delamination front, and again nodes are released if the fracture criterion is exceeded. This process continues until the fracture criterion is no longer exceeded. The delamination front will now be in equilibrium and no further delamination growth will be predicted by the model, no matter how many extra fatigue cycles are numerically applied. In other words, the fracture criterion approach can only predict delamination growth due to quasi-static load, and not fatigue delamination growth.
Despite this, Boscolo, Zhang and co-workers [161, 163, 165] present test results which are in reasonably good agreement with the growth predicted using the fracture criterion method. The reason for this is that Boscolo et al. model a strap bonded to a metal plate containing a fatigue crack. The growth of this crack in successive fatigue cycles perturbs the equilibrium of the delamination front, allowing growth to occur. Boscolo and Zhang justify their approach with the statement: "It must be said, though, that disbond growth in patch repair and bonded crack retarders is mostly due to the high local stresses in the substrate crack tip region due to the "stress singularity" effect rather than fatigue loads [164] ." However in the experimental results presented in reference [165, fig. 6b ] there is a quite clearly visible delamination that did not form in the substrate crack tip region. As the adopted method already requires the computation of the SERR, a more appropriate SERR based growth law could be applied to predict the delamination growth.
Concluding remarks on the fracture mechanics based methods
Starting with the efforts of Roderick et al. [6] , and Mostovoy and Ripling [7] , the fracture mechanics based methods have undoubtedly been successful at describing fatigue delamination growth behaviour. However this success can be largely ascribed to the presence of "constants" that are to be empirically derived in these methods. These curve fitting parameters give researchers the freedom to make a wide variety of suggested models fit the experimental data. As a result, a wide range of models have been proposed to deal with a variety of factors such as the R-ratio effect, mode-mix and environmental influences. Only rarely are these models based on a consideration of the physics of the problem however. During the earliest developments the Paris relation was adopted, not based on a consideration of the mechanisms at work in delamination in composites or adhesive bonding, but based on its success at predicting fatigue crack growth in metals. Since those investigations the Paris relation has usually been taken as a given, or as a starting point for modification to include some extra effect such as mode-mix. These modifications are usually only based on a phenomenological description of the macroscopic delamination growth behaviour, and not on an understanding of the physics underlying the problem. This lack of connection to the underlying physics can lead to issues such as the observation of an R-ratio effect when an incomplete description of the stress cycle is used as a similarity parameter. Another issue is that the limits of the applicability of developed models are unclear, with not only material but even geometry possibly effecting the models. Fracture mechanics based models have shown great potential to predict delamination growth, but they need to be tied into the physics to allow true understanding of the material behaviour.
Cohesive Zone Models
Like the VCCT, the CZM approach is a finite element method. When employing the VCCT in a predictive model, remeshing is required as the crack advances. In the CZM approach this is avoided, by modelling the interfaces along which delaminations are expected to grow using cohesive zone elements. These elements are not linear elastic, but follow a prescribed traction-displacement relation. Often some kind of damage parameter is used to progressively reduce the stiffness, simulating damage growth within the element. Thus the constitutive behaviour of the cohesive element is generally defined as (a variation of):
where κ(t) i = max 0≤τ ≤t δ i (τ ); δ i (t) is the current value of the relative displacement of the faces of the cohesive element at (pseudo-)time t, D i is the damage parameter, the index i represents the direction, δ 0 is the displacement at the onset of softening of the element, δ f is the displacement at failure, K i is the stiffness and T i is the traction.
CZMs have enjoyed some success in the prediction of both static and fatigue delamiation growth. An overview of the development of the CZM will be given in this section.
Early CZM approaches
The basis for CZMs were the cohesive zone formulations developed by Dugdale [166] and Barenblatt [167] . Based on their concepts Needleman [8, 168] , studied a number of fundamental decohesion problems using a CZM. Other applications followed in the decade after. Hutchinson and Evans have written a concise overview of these investigations [169] . Camanho et al. have also provided a review of the early developments of CZMs [170] . To model fatigue delamination growth an irreversible stiffness reduction must be added to the CZM formulation [171] . Needleman was also the first to propose such a formulation [172] , followed by Camacho and Ortiz [173] . These ideas were further developed into models for fatigue growth by Foulk et al. [174] , de-Andrés et al. [175] , Nguyen et al. [176] , Yang et al. [177] and Roe and Siegmund [171] .
Foulk et al. [174] included unloading and reloading behaviour in their constitutive model. This resulted in an irreversible behaviour of the traction-separation relation. Andrés et al. [175] took a similar approach, but also proposed a damage parameter defined as:
where φ is the potential associated with the traction-displacement relation and δ max is the maximum displacement reached during the loading portion of a load cycle. The value of the damage parameter is extrapolated by means of a one-term Taylor series expansion and is used to 'fast-forward' the loading-unloading behaviour of the traction-separation law. This allows the damage length to be evaluated at a limited set of cycle numbers, without the need to find the intermediate behaviour by means of a cycle-by-cycle analysis. Nguyen et al. used an exponential decay factor to reduce the stiffness and traction as a function of the number of cycles [176] . Yang et al. [177] formulated a damage parameter such that damage was also accrued during the unloading portion of the load cycle. This formulation allows both initiation and growth to be modelled with the same law, but does require separate crack advance criteria. Roe and Siegmund [171] proposed a damage parameter that is applied to the traction-separation behaviour and thereby also governs the unloading and reloading behaviour. Separate crack advance criteria are not necessary for that formulation. Camanho et al. [178] introduced a damage parameter that is dependant on the mode-mix:
Here D is the damage parameter, which is used to reduce the stiffness of the cohesive element. δ m is the mixed mode relative displacement of the cohesive zone faces, defined as:
where δ i inidcates the displacement in the i-direction, with the 3-direction being out of plane, and x is the Macauley operator (i.e. zero if x is smaller than zero and equal to x otherwise). κ m again indicates the maximum displacement reached. Based on a facture criterion proposed by Benzeggagh and Kenane [179] , Camanho et al. take the following equations for the displacement at failure:
where β is the mixed-mode ratio δ shear /δ 3 and η is an empirically determined parameter. Note that the Benzeggagh-Kenane criterion is empirical, based on a curve fit of the macroscopically observed behaviour of a static delamination test.
Further developments
Robinson et al. [180] proposed a damage parameter that was split into two parts: one for the static portion of delamination growth and one for the fatigue portion. The evolution of this damage parameter followed the relation proposed by Peerlings et al. [181] and the interface elements and cohesive laws were based on the work of Alfano and Crisfield [182] . Robinson et al. simulated the fatigue behaviour by numerically applying a constant load equal to the maximum of the fatigue load, and treating the damage parameter and displacement as dependant on pseudo-time, as represented by the number of cycles. The damage parameter derived by Robinson et al. is:
where C, β, and λ are fitting parameters. The first term of the right hand side of this equation describes the quasi-static portion of the delamination and the second term describes the fatigue portion of the delamination. x µ denotes the following operation:
Robinson et al. use this operation to evaluate the integral of the fatigue damage parameter rate:
Robinson et al state: "In all computations shown in this paper the value µ = 0.7 has been used giving satisfactory results, but the problem of finding an optimal value of µ is not trivial [180] ." This statement is rather peculiar. Equation 53 defines a mathematical operation, not a physical model. That using a certain value of µ gives satisfactory results in no way implies that those results are also correct. Furthermore, using the same value of µ for all integration intervals is only correct if the function being integrated has a constant slope, which for δ (N ) at least is not true, as can be seen in the Robinson et al. paper [180, fig.6 ]. Muñoz et al. [183] investigated the sensitivity of the model of Robinson et al. to the pseudo-time increment ∆N , and to the mesh size. To improve the performance of the model they suggested using the "elastic limit" of the relative displacement (the displacement for maximum traction) rather than the failure limit of the relative displacement as the reference length in the damage parameter.
In the model proposed by Robinson et al. a new set of parameters has to be determined for each modemix ratio. Tumino and Cappello [184] modified this model by relating the model parameters C and β with the mode-mix in a manner similar to the way Blanco et al. [97] related the Paris parameters C and n to the mode-mix. Robinson et al. [180] , Muñoz et al. [183] , and Tumino and Cappello [184] all present comparisons between predictions produced with (derivatives of) the model proposed in reference [180] and experimental data. In each case the same dataset is used [107] and good agreement is shown. However this dataset was also used to find the required input parameters of the model. Thus the demonstrated agreement between the model and the experimental data is tautological. Until the model is compared to a new dataset it can not be considered to be validated.
A different split parameter was proposed by Harper and Hallet [185] . In this model the static component of the damage parameter is defined as: [187, 188] similarly proposed a CZM linked to fracture mechanics. In their model the change of the damage parameter is defined as:
where A CZ is the area spanned by a cohesive element. For f (∆G) Moroni and Pirondi compared three mixed mode models, viz: the model proposed by Kenane and Benzegaggh [102] , the model proposed by Quaresimin and Ricotta [109] , and what Moroni and Pirondi describe as "the simplified version of a model proposed by Abdel Wahab et al. [ref: [144] ]". In fact this third model goes back to the work of Ramkumar and Whitcomb [100] and Gustafson and Hojo [50] . Abdel Wahab et al. [144] also proposed a model of this form, but using a sigmoidal formulation rather than simply G max [100] or ∆G [50] . In reference [188] Moroni and Priondi compare the results of their model with "analytical" results produced by using the normal, non-CZM, formulation of the models used in their CZM. Although Moroni and Prondi refer to these results as "analytical" the SERR was calculated by means of VCCT, which is a finite element technique. Unsurprisingly the agreement between the CZM and the "analytical" results was good, because the model proposed by Moroni and Priondi is effectively a numerical integration scheme. The only difference is the calculation of the SERR, which will be slightly different due to the softening of the cohesive elements in the vicinity of the crack tip. Recently Landry and LaPlante have also proposed a model linking fracture mechanics and CZM [189] , with the damage parameter depending on a modified Paris relation applied to G Imax . They used this model to predict delamination growth as a result of variable amplitude loading. The predictions were compared with fatigue tests of two specimens and good agreement was found. Only 12,000 cycles were applied, which is a rather short period. It would be interesting to investigate the Landry-LaPlante model for a longer duration test.
Khoramishad et al. [190] proposed a damage parameter based on the maximum strain, according to:
where max is the maximum principal strain in the cohesive element, th is the threshold strain, below which no fatigue damage occurs, n is the normal component of the strain, and s is the shear component of the strain. The traction-displacement behaviour was defined such that softening starts at a displacement value δ 0 i where the matching peel or shear traction exceed the critical peel or shear values, i.e:
Failure displacement δ f i was defined using the Benzeggagh-Kenane fracture criterion [179] also used by Camanho et al [178] . The cohesive behaviour was determined by correlation with static tests. The damage parameter was calibrated using a fatigue test on one joint configuration. The model was then validated by experiments on a second configuration. Khoramishad et al. produced a load-life diagram and predicted the back-face strain at the point where a strain gauge was applied during the experiments. The experimental and numerical results showed good agreement. An a vs N or da/dN vs G diagram would have been useful to evaluate the propagation predictions of the model, but these were unfortunately not supplied.
May and Hallet developed a CZM that not only includes delamination propagation, but also predicts initiation [191, 192] . To predict initiation the load severity (the ratio of applied load to static failure load) is calculated for elements along the interface. The severity is compared to reference S-N data and then used to update a damage parameter d f,i accordingly. When d f,i for an element reaches 1, the element properties are reduced to 0 over a number of subsquent cycles. Element degradation due to fatigue damage is only applied when d f i,i is equal to 1, to prevent redistribution of load to other elements, which May and Hallet claim does not occur during the initiation process. The numerical damage initiation is not just applied to one element, but to all elements in an initiation zone in the vicinity of the element with the highest failure index, which is the ratio of the mixed-mode SERR of an element to the critical mixed-mode SERR. After a crack is initiated, propagation is predicted using a damage parameter which is incremented based on the Paris relation (equation 7). Figure 2 : A typical cohesive model. T is the traction, δn is the normal (mode I) displacement, and δs is the shear (mode II and III) displacement. The indicated quantities (initial stiffness K 0 , critical SERRs G Ic and G IIc , and the loci of initiation and propagation) must be assumed or determined experimentally.
Concluding remarks on the CZM
The CZM approach suffers from the same shortcomings as the fracture mechanics based methods, i.e. a lack of grounding in an understanding of the physics underlying the delamination process. This is seen both in the cohesive relation itself and in the damage parameter formulations. Consider for example a typical mixed-mode cohesive relation as shown in figure 2 . The initial stiffness K 0 is chosen for purely numerical reasons [190] . The loci of initiation and propagation are usually determined by means of a (phenomenological) criterion based on the pure mode I and mode II values. The criterion for the locus of initiation makes use of the tripping tractions, which are difficult to determine experimentally. For that reason the tripping traction is often treated as a penalty parameter, i.e. an assumed value is used [190] .
The locus of propagation is based on the area under the traction-separation curve, which is assumed to be equal to G c . Note that this implies that the work applied to the cohesive element is solely dissipated by the formation of the new fracture surface, even though the softening of the cohesive element would suggest a measure of plastic deformation.
Summarising, to correctly define the cohesive zone a number of parameters need to be determined. Of these parameters only the values of G ic are determined experimentally, the others are chosen based on numerical considerations. Even the G c values may be treated as fitting parameters however; consider for example the following statement of Khoramishad et al: "The initial value of G c used was typical of the range of values found in the literature for the FM 73 M adhesive. This was refined along with the tripping traction in an informed iterative technique to match the static responses of the bonded joints [190] ." If G c has physical significance it should not be necessary to modify the experimentally determined value.
The damage parameter likewise requires a number of empirically determined parameters of which the physical significance is unclear. As mentioned above, many of the more recent CZM approaches use a damage parameter based on a fracture mechanics growth relation. Thus all of the shortcomings of these relations, as discussed in section 4, are also applicable to these CZM approaches.
The main advantages of the CZM approach are that it avoids the need for re-meshing along a pre-defined crack path [183, 185, 188] , and can include the initiation phase in the model [183, 190, 191] . The fracture mechanics methods discussed in section 4 can only model delamination growth. Little use seems to be made of these advantages however. In the papers discussed above the delamination size was always onedimensional, implying a straight delamination front. For these cases evaluating the growth by calculating the SERR for a number of fixed delamination lengths and integrating the da/dN vs SERR relation can be done just as readily (e.g. [61] [62] [63] ). The advantageous behaviour of the CZM would be more visible in the investigation of delamination growth that is non-uniform along the delamination front, or in the investigation of planar delamination growth. The authors could not find any papers reporting such investigations in the literature though.
Similarly, although the CZM can potentially model both initiation and delamination growth using the same formulation, so far the only works making use of this feature of the CZM are those of Khoramishad et al. [190] and May, Hallett and co-workers [191] [192] [193] . Khoramishad et al. present two load-life curves [190] , which include the initiation life. Due to the large scatter bands and low number of specimens in the experimental results the quality of the prediction is difficult to judge however. May et al. presented a validation [193] of the May-Hallet model [191, 192] . In this validation May et al. used the May-Hallet model to predict S-N curves for matrix cracking in two different carbon/epoxy layups. The agreement between the predicted and experimental fatigue lives was quite good, especially considering the scatter in the experimental values. It would be interesting to see whether the May-Hallet model can also correctly predict the a vs N behaviour in a specimen in which there is both an initiation period and significant fatigue driven delamination growth. Being able to correctly predict a vs N is such a case would be an important milestone towards a model capable of predicting delamination growth in in-service structures.
Moroni and Pirondi [188] have compared the CZM with the pure fracture mechanics approach, which they labelled the analytical approach. In their results the da/dN vs G curves are identical for the CZM and "analytical" approaches. The a vs N curves exhibit some differences however. As the scenarios investigated by Moroni and Pirondi started with an initial crack, this indicates that the difference between the CZM and fracture mechanics approach lies merely in the calculation of the SERR; i.e. for the same crack length the two approaches will produce slightly different values for the SERR. Without comparing both the CZM and the fracture mechanics approach with experimental data it can not be ascertained whether the CZM approach or the fracture mechanics approach (based on the VCCT for the SERR calculation) produces a better delamination growth prediction.
Extended Finite Element Method
The extended finite element method (XFEM) is a "meshless" finite element technique that allows more flexible modelling of crack growth. In contrast to the traditional finite element method or CZMs, using XFEM the crack path is not confined to element edges or to special interface elements. Instead enrichment functions are added to certain nodes, which allows the crack to grow arbitrarily through the element, rather than just along the edge. Thus crack growth can be simulated without the need to predefine a crack path or crack plane.
The XFEM was first proposed by Belytschko and Black [9] , based on the concept of partition of unity formulated by Melenk and Babuška [194] , and Duarte and Oden [195] . Belytschko and Black showed the potential of their method by numerically simulating a turning crack, though no experimental validation was offered. Moës et al. [196] refined the method described in reference [9] to deal with long and/or 3D cracks and presented a number of numerical results. Wells and Sluys [197] provided a similar demonstration, though again without a comparison to experimental data.
To also model cohesive cracking it is possible to include a cohesive law governing the traction-separation behaviour of the crack opening into the XFEM formulation, as first proposed by Moës and Belytschko [198] . Over the course of the first decade of the 21 st century further refinements of the XFEM have been devised. These developments have been summarised by Huynh and Belytschko [199] .
In the last few years a number of investigations have been performed on more practical problems. Iarve et al. [200] modeled the interaction between matrix cracking and delamination in composites; Campilho et al. [201] considered fracture in adhesive joints; Curiel Sosa and Karapurath [202] investigated delamination in FMLs. All three papers mentioned provide a comparison with experimental results, with fair to good correlation between the model prediction and the experimental data. However in the paper of Campilho et al. [201] the validation is tautological, as the experimental data had also been used to generate the model inputs. The other two papers do not provide enough information on the source of the model inputs to determine whether the validation was done propperly in this case.
Recently Ling et al. [203] have shown that a CZM can also be intergrated into an augmented finite element method (A-FEM). A-FEM is a method that was first proposed by Hansbo and Hansbo [204, 205] . Although it uses a different formulation, it is equivalent to the XFEM [206] .
So far nearly all the XFEM models that have been reported in literature have only considered quasistatic delamination growth. A number of XFEM approaches have included a cohesive law formulation [198, 200, 201] . By combining these formulations with a suitable damage parameter, as done in regular CZM approaches, it should be possible to model fatigue delamination growth using the XFEM. Such an attempt has not been reported in literature up to now however. Very recently an XFEM approach was developed by Bhattacharya et al. [207] for fatigue crack growth along the interface in a bi-layered material. This approach is based on the use of the Paris relationship in the original form (i.e. based on the SIF, equation 6). Due to the difficulty of calculating the SIF in a composite material, such an approach may be less suitable for delamination growth within a composite. Alternatively Bacarreza and Aliabadi have proposed a method [208] in which XFEM is used to find the delamination growth direction and VCCT is used to find the SERR values.
Ultimately all the XFEM-based delamination growth methods proposed so far, as well as potential future methods based on the CZMs discussed earlier, rely on a fracture mechanics model, correlating SIF or SERR with the delamination growth rate. Thus all the issues with these models that were raised in section 4 remain relevant.
A note on applicability to real structures
The vast majority of the models mentioned in this paper were developed and validated in the lab at coupon level, often using standardised specimens such as the DCB [209] , and mixed mode bending (MMB) [210] specimens. As a result these models only describe 1D delamination growth, in a known direction. In contrast, in a real structure delamination will often be in 2D, or even in 3D, if one considers the phenomenon of ply-jumping. In addition the specimens under consideration in the developments of the discussed models are usually flat, whereas real structures, especially in aviation, are often singly or doubly curved. Some steps have already been taken towards bridiging the gap between laboratory specimens and real structures, with investigations on delamination initiation and growth in the presence of a hole [58] , or following an impact [59] . Others have investigated the growth of circular delaminations [60] , or of stacking sequence or fibre orientation [71, 72] . It is clear that much work still needs to be done to transfer the knowledge gained in the lab to real situations however.
Conclusions and recommendations for future research
Over the past forty years a great variety of models has been proposed for delamination growth due to fatigue loading. Starting from the Paris relation for fatigue crack growth in metals, the first class of methods to be developed were those based on LEFM. More recently these have been complemented by models based on the CZM or XFEM approach, which also remain partly based on fracture mechanics. No matter the class of method however, these methods are almost invariably phenomenological, based on observed macroscale material behaviour and not on an understanding of the micro-mechanics underlying the delamination growth. At their core, most methods proposed for the prediction of delamination growth, even those based on the CZM, are modifications of the basic Paris relation (equation 7). Modifications of this relation are proposed, not based on a consideration of the physics of the problem, but on the observed shape of the delamination growth curve. As these models include several parameters that must be determined by curve fitting, a wide array of variations can be fit to experimental data, especially if a limited dataset is used. This disguises the lack of understanding of the physical processes. We suggest that future efforts should not focus not on adding yet more variations on the Paris relation to the collection of models that can be fit to experimental data. Instead they should concentrate on elucidating the link between the physical processes involved in delamination growth and the resultant macroscopic behaviour.
When a new equation describing delamination growth is proposed, its form should follow from a consideration of the physical mechanisms. Fractographic investigations may assist by elucidating which mechanisms are at work, and under what conditions other mechanisms may be activated, or become dominant. An illustrative example is the work of Khan [211] , where a quantitative examination of fractographic features suggested that the monotonic (i.e. G max ) and cyclic (i.e. ∆ √ G components of the SERR should be superimposed to predict the delamination growth rate. The resulting equation showed a very good correlation with delamination growth data from the literature [123] .
Care should be taken that the driving force for delamination growth is correctly described. For example using only G max or only ∆G does not provide a complete description of a fatigue cycle. The use of the SERR to predict delamination growth implies an energy balance, where the SERR is a measure for the input energy. Delamination growth (along with other mechanisms, e.g. plasticity) consume this energy. A more careful consideration of the energy balance during delamination growth may lead to a greater understanding of the delamination process and by what variables it is governed. Finally, a greater understanding of fatigue processes in bulk resin may also lead to greater understanding of delamination growth, which often proceeds by cracking of the matrix resin along a resin rich interface.
Only by a consideration of the physical processes can a true understanding of fatigue delamination growth be achieved.
